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In the last 25 years, the science and technology of composite materials have
experienced a period of substantial development.-The initial goal was to
provide light, strong, aad stiff materials for the acrospace industry. That was
met by the introdyetion of polymer matrix composites with continuous fiber
reinforce nent, #nd with certain discontinuous reinforcements. Such mate-
rials are'now/routinley used not only in aerospace, but also in numerous
other applications, e.g., in automobile and construction industries.

Meanwhile! omposnte materials have been introduced, or are expected to
serve, in many - functions which cannot be fulfilled by conventxonal
matenpls, particularly in extreme environments. Accm:dmgl?/ the research
focus has been broadened to include not only new polymer systems, but also
metal{ $atermetallicaand ceramic watriX’materials. This has brought forth
a number of new problems in fabrication and processing, and in analysis of
composite material behavior and properties.

The latter set of problems is usually approached by various micromechani-
cal techniques. In recent years, their scope has been expanded from
prediction of overall properties of elastic, perfectly bonded systems, to
include problems associated with inelastic deformation of the phases,
debonding at interfaces, and growth of distributed damage. Many familiar
aspects of mechanical behavior, such as fracture, fatigue, compressive
strength and buckling have been reexamined and adapted for appiication to
the new matcrial systems. sg———

This volume contains a selection of recent work by leading researchers in
micromechanics that was presented at the [UTAM Symposium on Inelastic
Deformation of Composite Materials at Rensselaer. The Symposium was
made possible by the generous support of AFOSR, ARO, NSF, IUTAM and
RPI. Thanks are due to the sponsors, and to the local organizing committee
for their support and work on behalf of the Symposium. Special thanks are
due to Christine Stephenson for her coordination of the local arrangements,
and for her contribution to the preparation of this volume.

George J. Dvorak
Troy, New York

June 1990
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Composite Materials with Interphase:
Thermoelastic and Inelastic Effects

Zvi Hashin!

Department of Mechanical Engineering
and Applied Mechanics
University of Pennsylvania
Philadelphia, PA

ABSTRACT

The effect of thin interphase Dbetween
constituents of a composite material is
described in terms of imperfect interface
conditions which involve interface parameters.
Elastic, viscoelastic and elastoplastic
interphases are considered and their effect on
the mechanical properties of composites is
evaluated on the basis of the composite
cylinder/spheres assemblage models and the
generalized self <consistent scheme
approximation.

INTRODUCTION

The effective properties of a composite
material depend on two kinds of information:
the properties of the constituents and the

1 On leave of absence from Tel Aviv
University, Tel Aviv, Israel
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interface geometry. The interface imposes
certain restrictions on the deformations and
stresses in the constituents which are called
interface conditions. The concept of
interface and interface conditions is of
course a simplified description of a complex
microscopic state in the region where the
constituents come in contact, but introduction
of such details into analysis of a composite
material would lead to prohibitively difficult
problems. Therefore investigation of the
effect of the nature of the interface on
composite material properties should be
divided into two stages. In the first stage
the nature of the interface is translated into
interface conditions, possibly on the basis of
micromechanics of the interface region, and in
the second stage the composite is analyzed
subject to the derived interface conditions.
The classical interface conditions assume
that displacements and tractions are
continuous at the interface. This will be
referred to as perfect interface conditions
and every other kind of interface condition
will be called imperfect. Unless we have
reason to be concerned with surface tension
interface traction continuity must be retained
for reasons of equilibrium. It is the
displacement continuity requirement which is
abandoned when the interface is imperfect and
to understand the underlying physics let us
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imagine that there is a thin region (compared
to typical constituent dimensions such as
fiber diameters) between the constituents,
called the interphase, which has properties
which are very different from those of the
constituents. The interphase may be a thin
layer of another material introduced by design
or by chemical interaction of the
constituents, or it may be a region containing
many small defects such as pores or cracks.
The case of interest is an interphase with
stiffness much smaller than that of an
adjoining constituent. This will be the case
when the interphase material stiffness is very
small or when micro-defects reduce stiffness
considerably. The deformations of such an
interphase, though thin, may be of the order
of the deformations of stiffer constituents.
The interphase deformation is the difference
between displacements of adjoining
constituents. If the interphase, by virtue of
its small thickness, is idealized to become a
surface - i.e. the interface, then this
displacement difference becomes an interface
displacement discontinuity.

If the interphase is clastic the simplest
assumption is that normal and tangential
displacement discontinuities are proportional
to associated traction components. Thus with
respect to a local orthogonal system of axes
n,s,t originating at some point on the
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interface, Fig. 1, where n is normal direction
and s,t are tangential directions we describe
elastic imperfect interface conditions by the
relations

NORMCY

T = 1) = b (w1 (uy] = uf

() = 1(2)

"

Dylu,]  [ug] = uw{D) - u(® (1)

L N A T R R

on S,;, where D,, D, and D, are spring
constant type parameters which will be called
interface  parameters. It 1is seen that
infinite values of these parameters imply
vanishing of the interface displacement jumps
and therefore perfect interface conditions.
At the other extremity, zero values imply
vanishing of the interface tractions and
therefore disbond of the adjoining media. Any
finite positive values of the interface
parameters define an imperfect interface.

A special case of (1) is D, - » which
implies normal bond and imperfect shear bond.
If furthermore D, = D, = 0 there is no shear
bond and the case s referred to as free
sliding. The case of imperfect shear bond
only was considered by Mal and Bose (1975) and
Benveniste (1985) for the case of spherical
particle elastic composites. Mura et al.
(1985) have analyzed the axisymmetric problem
of a spheroidal inclusion with interface




MATERIAL 1

MATERIAL 2

Fig. 1 - Interface
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conditions of free sliding.

The more general interface conditions of
type (1) with imperfect normal and shear bond
were used by Achenbach and Zhu (1989, 1990)
for numerical analysis of periodic fiber
arrays and by Hashin (1990a,b,c) for analysis
of thermoelastic properties of fiber and
spherical particle composites and the eiastic
problem of the spherical inclusion.

INTERFACE CONDITIONS AND INTERPHASE

Elastic Interface

It should be noted that the interface
conditions (1) have been introduced into the
literature as a convenient assumption without
examination of their general validity or
origin. It has ©been shown in Hashin
(1690a,b,c) that such interface conditions are
indeed valid for fibers of circular cross
section coated with transversely isotropic
interphase and for spherical inclusions which
are coated with isotropic interphase, provided
that interphase thickness and stiffness are
very much smaller than diameters and
stiffness, respectively, of fibers and
inclusions. It has been shown on the basis of
detailed model analysis that for fibers the
interface parameters are given by




D, = (k; + Gp;)/8
| D, = Gy; /8 (2)

D, = GAi/S
where n is radial outward direction to fiber
surface and s,t are transverse and axial
tangential directions, respectively, t is axis
of transverse isotropy, & is interphase
J thickness, k;, Gy, G, are interphase
material transverse bulk modulus, transverse
shear modulus and axial shear modulus,
{ respectively, which are supposed to be much
{ smaller than fiber elastic moduli
Note that D, in Hashin (1990a) was given
with a factor 2. This is a matter of
interpretation of the displacement continuity
due to axial shear. The present
ﬁ ' interpretation seems to be preferable.
For spherical inclusions with isotropic
interphase it was shown in Hashin (1990b,c)
that

_ 4
D, = (K; +5G;)/s

(3)
Ds = Dt = Gi/8
where K, is isotropic bulk modulus. Note that
for isotropic interphase (2) become the same
as (3).
We can derive (2,3) in very simple
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fashion without recourse to model analysis.
Furthermore, the derivation is not restricted
to fibers of circular cross sections nor to
spherical inclusions but is valid for
generally cylindrical fibers and inclusions of
any (smooth) shape. Recall that the interface
is a very thin layer which is loaded by
assummedly smooth distribution of normal and
tangential tractions, equal in magnitude on
both sides. The variation of interphase
stresses with r, distance normal to interphase
bounding surfaces, can therefore be neglected.
It follows that if the interphase is
homogeneous the strains are also independent
of r. Therefore the displacement jumps
produced by the interphase are given by

(o) = ) 8
[ug) = 2¢{1)s (4)
[u,] = 2¢{})s

where index i indicates interphase. Since e,
is the normal derivative of u, the first of
(4) is obvious. Establishment of the
remaining two, for curved interphase, is based
on neglect of the small number §/a with
respect to 1, where a is radius of curvature
of fiber or inclusion.

At constituent/interphase interfaces each
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of the tangential interphase strains c§i) csi)

must be equal to its constituent counterpart.
Assuming that particles and fibers are very
much stiffer than the interphase material the
tangential interphase strains can be neglected
relative to the normal interphase strain.

Thus
egs = ely) << el) e = e{Pec ) )

s$S tt

where strains with no index are in fibers or
particles. Assuming isotropic interphase it
follows from the elastic stress-strain law of
the material that

o{1) = (k; + 46,/3) (1)
ops = 27 efy) (6)
ofy) = 26; {))

These stresses are the normal and tangential
tractions. Expressing them in terms of (4)
and using (1), the result (3) follows at orce.
Derivation of (2) is entirely analogous.
There is in fact no difficulty to find the
interfac constants for interphase which is
orthotropic with respect to the n,s,t axes.
For more complicated interphase anisotropy,
when normal and shear strain/stress are no
longer decoupled, the interface conditions
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will no longer have the form (1) but each
traction component will be linearly related to
all displacement jumps in the n,s,t coordinate
system.

Work on the effect of interphase on the
properties of composite materials has often
been concerned with variability of interphase
properties in the normal direction; see e.g.
Sideridis (1988). The present approach can be
readily adapted to this case. The interphase
stresses remain constant through the thickness
for the same reasons given above but since
interphase stiffness now varies through the
thickness the strains will behave similarly.
The relations (4) are now replaced by

Jﬁ €,p(r) dr

(o) = J
[“s] = 2 o € s(r) dr (7
(u,] = 212 €qq(r) dr

Assuming transversely isotropic interphase
coating of a fiber we then have from the
elastic stress-strain relations

1 . dr 8
LA f(; Gy (1) )
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1 jﬁ dr

Dy~ Jo T (M)
with obvious specialization to isotropic
interphase.

Finally, we consider the case of thin
interphase with no stiffness restrictions in
which case the tangential strains (5) are no
longer negligible with respect to normal
strain. To be specific we consider the case
of isotropic interphase adjoining an 1sotropic
constituent. Expressing interphase normal
stress in terms of interphase strains and
using (4) and the left part of (5) the normal
interface condition now becomes

/8 = 1 ad T
[u,1/8 = [ K+ 4G 73 * E,(T - ”ijl n
(1 - »))w.

There is of course no difficulty to derive
similar relations for anisotropic interphase
and/or anisotropic constituents. It is seen
that (9) is no longer of the form (1) while
the shear interface <conditions remain
unchanged.

Examination of (9) reveals that the
normal displacement jump is of the order of
interphase thickness multiplied by the ratio
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of stress to interphase stiffness. For
interphase stiffness which is not small
(compared to constituent stiffness) this ratio
will be a very small number which implies very
small normal displacement jump, a situation
which could be adequately represented by
normal displacement continuity - thus perfect
interface condition. Similar considerations
apply to shear interface conditions. For
isotropic interphase normal and shear

stiffness will be of the same order, thus
normal and shear interface conditicns will
both be either perfect or imperfect. However,
in the case of an anisotropic interface it is
possible to have shear stiffness which is very
much smaller than normal stiffness. This may
lead to perfect normal interface condition and
imperfect shear interface conditions.

If the interphase is such that perfect
interface conditions are appropriate, (9) or
its anisotropic counterparts are still useful
for purpose of determination of the stresses
in the interphase.

Viscoelastic Interphase

We consider the <case of linear
viscoelastic isotropic interphase and make the
usual assumption that the bulk modulus K is
time independent and thus the viscoelastic
effect 1is confined to shear and s
characterized by the relaxation modulus G;(t)
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and the associated creep compliance g(t).
Then the viscoelastic counterpart of (1,3) is
given by

T (t) = D (t)[u (0)] +
t ) N7,
fo Dyt - ') Sv [u (t)]dt

T (t) = D (1)[u,(0)] +

¢ )
fo Dy(t - t') o [u (1))t
(10)
D, (1) = [K; H(t) + 3 G;(1)]/3
D(t) = G;(t)/3

where H(t) is the Heaviside function. For
applications it is useful to introduce the
Laplace Transform (LT) of (10) which is

-~ -~ -~ -

Ty = PDylugl Tg = pDlug]
~ - - R (11)
o, = [K, + 3pG;]/s  pDy= pG; /8

where ~ indicates LT and p is the transform
variable. It follows from Tauberian theorems
for LT that the initial and final values of
the interface functions D,(t) and D,(t) are

D, (0/=) = [K; + 3 G;(0/=)]/8
(12)




16
Dg(0/®) = G,;(0/=)/8

Often G,(») is so small that it may be assumed
to vanish. In this event the final shear
interface conditions reduce to free sliding.

The above interface functions are
appropriate for quasi-state effects of
relaxation and creep. In the case of steady
state oscillations it is convenient to use
complex moduli. Retaining the assumption of
elastic K; the complex interface parameters
are

ﬁn(zw) = [Ki + %Gi(cw)]/cs

(13)
58(1.«)) = Gi(cw)/B

where » is frequency, ¢ = VT and G,(ww) is
the complex shear modulus of the interphase.

Elastoplastic Interphase

In this case the interphase may develop
plastic yielding. The situation is more
complex than the previous ones considered
because of the nonlinear stress interaction
and it is therefore not clear if it is
possible to develop interface conditions of as
general a nature as Dbefore. Here the
development of the interface conditions for
elastoplastic interphase will be confined to a
specific geometrical model in the context of
unidirectional fiber composites to be
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considered below.

THERMOELASTIC EFFECTS

Thermoelastic properties of fiber
composites and of particulate composites have
been analyzed in Hashin (1990a,b) on the basis
of the composite cylinder assemblage (COCA)
model for fiber composites, the composite
spheres assemblage (CSA) model for particulate
composites and the generalized self consistent
scheme (GSCS) for both kinds of composites.
It will be recalled that the OCA and CSA are
described by filling out space with
geometrically similar composite cylinders and
composite spheres, respectively. The GSCS is
based on the assumption that the state of
strain/stress in any fiber or particle can be
approximated by embedding a composite cylinder
or composite sphere in an infinite medium
which has the properties of the composite
material. The GSCS, CCA and CSA give the same
results in all cases when an exact solution of
the two latter models can be cbtained.
However, the GSCS approximation can also be
applied when exact solutions for the OCCA and
CSA are not available, thus for transverse
shear of fiber composites and shear of
particular composites.

The analysis can be much facilitated by
introduction of the concept of equivalent
fiber or particle. To explain this consider
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fiber/particle which is coated with a thin

interphase layer, or more abstractly-
exhibits the displacement jumps (1) when
subjected to surface tractions. It has been

shown that for the purpose of model analysis
such a fiber can be replaced by a homogencous
fiber with the following equivalent
thermoelastic properties

e ) 2 k2 5
+ ——
k;#Gy; a

Epe = Epp VAe = VA2
(14)

>Q
o
]
Q
“‘5

A2 &
115y

Ape = AA2 aTe = AT2

Here k is transverse bulk modulus, E, », G and
a are Young’s modulus, Poisson’s ratio, shear
modulus and thermal expansion coefficient,
respectively, A denotes axial - in fiber-
direction and T denotes transverse direction
and 2 and e indicate fiber and equivalent
property, respectively.
Similarly, for a spherical particle the

equivalent bulk modulus is given by
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Ke = 9K2 5 (15)
1+ wxw; s
where 2 now indicates particle. In case of

defined interphase the interface constants
appearing in (14, 15) are given by (2,3).

The implication of these results is that
in all cases where OCA and CSA results are
available for perfect interface conditions,
conversion to imperfect interface conditions
is simply effected by replacement of fiber or
particle properties by (14) or (15). In other
cases such as transverse shear for a
unidirectional fiber composite and shear for a
particulate composite the equivalent
fiber/particle concept is not rigorously valid
and the GSCS analysis has to be generalized to
accommodate imperfect interface conditions.

It turns out that in the case of a fiber
composite with transversely isotropic fibers
the effect of imperfect interface enters
through the nondimensional parameters

e = klena qy = GAZ/Dta

(16)

m = Gpp/Dpa  qr = Gry/Dya
with similar parameters in the case of a
particulate composite. Analysis has shown
that for a unidirectional fiber composite
effective axial Young’s modulus, axial
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Poisson’s ratio and axial thermal expansion
coefficient are insignificantly affected by
interface imperfection, transverse bulk
modulus and transverse thermal expansion
coefficient are significantly affected
throough the parameter e only, axial shear
modulus and transverse shear modulus are
significantly affected - the former through q,
and the latter through m and gq,. These
effects are illustrated in Figs. 2-4. The
large effect of imperfect normal bond on
transverse thermal expansion coefficient is of
particular interest since it raises the
possibility of obtaining e, experimentally, in
simple fashion. Similarly, measurement of
effective axial shear modulus can be used to
determine q,.

For transverse shear modulus the relation
between m and q gives rise to various

possibilities. In the case of isotropic
interphase it follows from (2,3) that
l-2vi
w/ar = 700,y (17)

where » is the Poisson’s ratio of the
interphase. Figure 4 shows the case of
perfect normal bond-imperfect shear bond, in
which case m = 0, and the case of imperfect
normal and shear bonds for m = q¢/5. If there
is an isotropic interphase then the first case
corresponds to », = .5, thus an incompressible
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interphase, while the second case corresponds
to » = .375.

In the case of particulate composites the
effective elastic moduli and the thermal
expansion coefficient are significantly
affected by interfac bond while the effect on
the Poisson’s ratio is moderate. See Hashin
(1990b).

VISOOELASTIC EFFECTS

Time dependent interphases are of
interest for modeling elevated temperature
behavior. They are also a convenient device
to produce relaxation, creep an damping
effects into an elastic brittle material such
as a ceramic composite. The interface
conditions resulting from a linear
viscoelastic interphase have been discussed
above. We outline here a method of evaluation
of the time dependence of composite properties
due to such interphase and we discuss some of
the results. For further details see Hashin
(1990d).

Analysis is much facilitated if we recall
the correspondence principle for viscoelastic
omposites, Hashin (1965), according to which
the LT of effective viscoelastic relaxation
moduli (creep compliances) by replacement of
phase elastic moduli (compliances) by p
multiplied LT of phase relaxation moduli
(creep compliances). The latter have been
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named for convenience TD (transform domain)
moduli (compliances). In the present case the
only source of viscoelasticity 1is the
interphase and inspection of (11) reveals that
these equations define TD interface parameters

pDn and pD,. It follows that to obtain LT of

effective viscoelastic properties the elastic
interface parameters appearing in expressions
for effective elastic properties are replaced
by these TD interface parameters.

Furthermore, it has been shown by
application of Tauberian theorems, Hashin
(1966), that the initial/final values of
effective relaxation moduli (creep
compliances) <can be simply obtained by
replacement of phase moduli (compliances) by
initial final values of phase relaxation
moduli (creep compliances). Thus in the
present case we can use initial/final values
of the interphase functions (12) to obtain
initial/final values of effective viscoelastic
properties, assuming that the interphase
relaxation shear modulus becomes vanishingly
small after infinite time.

Performing an elastic analysis with these
interphase parameters it is found that the
initial and final values of some properties
are numerically very close implying that the
viscoelastic effect cn be neglected.
Prcperties which are of this nature are:
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axial Young’s relaxation moduius and creep
compliance, transverse bulk relaxation modulus
and creep compliance, axial Poisson’s effect
and the axial and transverse thermal expansion
coefficients.

There is significant viscoelastic effect
for axial and transverse shear. Representing
interphase viscoelasticity by a differential
time operator the effective axial shear
relaxation modulus and creep compliance can be
evaluated analytically on the basis of the
correspondence principle and LT inversion.
Figures 5-6 show such results for Nikalon
fibers embedded in a Boron Silicate matrix.
The shear viscoelasticity of the interphase is
represented by the Maxwell model with shear
modulus G, and viscosity coefficient . Time
has been normalized with respect to the
characteristic time of the Maxwell model which
is given by

7 = 7,/G; (18)
The different plots of relaxation moduli and
creep compliances are characterized by the
nondimensional interface parameter

G

n= o (19)
It is seen that the smaller q, the more time
is required to develop the viscoelastic

effect. It is also seen that whatever the
value of q,, ultimately the fibers behave as
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cylindrical voids because of the free sliding
interface condition which develops as a final
state.

For transverse shear and transverse
uniaxial stressing/straining analytical LT
inversion is not possible but can in principle
be performed numerically. The Tauberian
theorems are readily applicable to this case.
The initial/final values are obtained by using
the initial/final values (11) with zero value
of final shear modulus in the elastic
analysis. Such results are shown in Fig. 7
for the effective transverse Young’s
compliance E% (t).

Similar results for particulate
composites have been given in Hashin (1990b).

PLASTICITY EFFECTS

If the interphase material is subject to
plastic yielding the composite will behave as
an anisotropic elasto-plastic material. This
is again of particular interest for ceramic
composites as such an interphase introducs
ductility into an otherwise brittle material.

As in the case of viscoelastic interphase
it is to be expected that platicity effects
for a fiber composite with elasto-plastic
interphase will be signficant only for axial
and transverse shear and other loadings which
incorporate any of then, e.g. uniaxial stress.
In particular all axisymmetric states such as
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axial stress long fibers, isotropic transverse
stress and thermal expansion will be
adequately described by elastic analysis.

We focus attention on the important case
of axial shear in terms of the CCA or GSCS
models, which in the elastic case give the
same results for axial shear. The state of
stress for axial shear 1is antiplane and
therefore the only surviving stresses in
cylindrical coordinates are o, and o,. The
form of the stresses in CCA analysis is

0, = 8, COSs 6
(20)

Og, = Sg, Sin 8

Since the interphase is very thin r dependence
of interphase stresses can be neglected.
Introducing (20) into the surviving
equilibrium equation we find that the stresses
assume the simple form

O, = S8 cos @

(21)

Oy = -5 sin @

If initial yielding is governed by the Mises
criterion then the whole interphase will yield
when

1y = 0,/¥3 (22)

i et A Mo
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UNIDIRECTIONAL FIBER COMPOSITE WITH VISCOELASTIC INTERPHASE
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where o, is the uniaxial yield stress. Also
note that (21) is equivalent to a principal
pure shear of magnitude 7,. Therefore
continued yielding is governed by the one
dimensional shear stress-strain relation of
the interphase. This is taken in the simple
bilinear form

s =G ¥y s <7
(23)

$ - 7y = Gi('y-‘yy) s = 7,
It follows that the effective axial shear
stress-strain relation for the CCA or the GSCS
models is also bilinear and can be simply
obtained from the results for elastic
interphase with appropriate interphase shear
modulus in the two different linear ranges.
The macroscopic stress-strain relation
relating average axial shear stress strain oy
and €, is then also bilinear and is as
follows:

712 = 6% €y, 2e12 < 7y

Fip= W e, + (GG ) T,  Zep =

g(1+v,) + (14q) vy

1 g vy + (1+q)(14vy)
' .G g(1+v,y) + (1-q9") vy
1gvy+ (14q7)(14vy)

G* =G

Gt




T ——————— e e

3

T

| ¥y = G’z' [ vy + (1+))(14vy)] v,

_Saz s . _Caz s
16, 2 1 °G] 3

1

and v,, v, are the matrix and fiber volume
fractions. Note that G* is the elastic axial
shear modulus for the case of interphase as
given in Hashin (1990a).

A plot of (24) for a composite consisting
of 50% Nikalon fibers and S50%BS matrix and
elasto~plastic interphase is shown in Fig. 8
for various values of the ratio Gi/G,. The
value .05 is appropriate for Aluminum
interphase while the value 0 implies ideal
plasticity.

The case of transverse shear can be
analyzed in similar simple fashion but
evaluation of stress-strain relations for
loading programs requires incremental
analysis.

OONCLUSION
It has been shown that the presence of
thin interphase between the constituents of a
, composite material can be described in terms
( of imperfect interface conditions which are
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formulated in terms of interface displacement
jumps and interface parameters. This has been
applied to elastic, vicoelastic and elasto-
plastic interphase. The appropriate interface
parameters can in each case be evaluated in
terms of interphase material properties and
thickness. Thermoelastic properties of
composite materials for these various kinds of
interphases have been evaluated with special
emphasis of unidirectional fiber composites.
It has been pointed out in which cases the
interphse has significant effect on
properties.
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Effect of a Viscoelastic Interfacial Zone on
the Mechanical Behavior and Failure of
Fiber-Reinforced Composites

B. Moran, M. Gosz and J. D. Achenbach
Center for Quality Engineering and Failure Prevention
Northwestern University, Evanston, IL 60208, USA

Abstract

The overall behavior and strength of fiber-reinforced composites is significantly
affected by the interfacial bonding between the fiber and matrix material. The
assumption of perfect bonding between constituents (i.e., continuity of
interfacial tractions and displacements) may not be suitable in the presence of a
thin interfacial zone (fiber coating) or cohesive type bonding (intermolecular
bonding). In this paper a simple viscoelastic model is used to characterize the
stiffness and viscosity of the interphase, and the finite element method is used to
obtain the mechanical response of the composite. Calculations are carried out
for a unit cell in a hexagonal array of fibers. The influence of loading rate on
interfacial crack initiation and growth is investigated for both displacement and
traction controlled failure processes. Stress distributions in the cracked
interphase and in the matrix material contiguous to the interphase are also

obtained.

1. Introduction

Unlike the axial strength and stiffness properties which are primarily governed
by the axial properties of the fiber, the behavior of the fiber-reinforced composite
in the transverse direction is dominated by a relatively low stiffness matrix
material and the nature of the bond between the fiber and matrix phases. This
may place severe limitations on the overall performance of the composite and
thus it is desirable to accurately characterize the transverse properties. In most
analytical and numerical work, investigators have assumed a perfect bond
between the fibers and the matrix material which is modeled by continuity of
interfacial tractions and displacements. In reality, however, the assumption of
perfect bonding may not be suitable in the presence of a thin interfacial zone
which connects the two phases (e.g. fiber coating or intermolecular bonding). In
this analysis it is assumed that the bond between the fibers and the matrix is
effected across an infinitesimally thin interfacial zone which supports a traction

Bl AR
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field with both normal and tangential components. Continuity of tractions is
assumed across the interphase, however, displacements may be discontinuous
from fiber to matrix due to the presence of the interphase in-between (see also
Aboudi, 1987; Needleman, 1987; Steif and Hoysan, 1987; Achenbach and Zhu,
1989a,89b; and Hashin, 1989).

2. Problem Formulation

In this paper, the finite element method is used to investigate interfacial crack
initiation and growth in a transversely loaded composite. We consider a unit cell
in a uniform hexagonal array of fibers as illustrated in figure 1 and, noting the
hexagonal symmetry, analyze the trapezoidal region ABEF. See Gosz et al.
(1990) for details of loading and boundary conditions. It is assumed that the
matrix is isotropic and linearly elastic. The fiber is taken to be linearly elastic
and transversely isotropic. The elastic constants employed in this analysis were
obtained by Kriz and Stinchcomb (1979) and are given in table 1. For the case
of plane strain, the stress-strain relations for the matrix phase can be written as

Oap = 2Uap + Arlap M

where the parameters A and u are the Lame’ constants and the Greek indices a, B,
and yrange over 1 and 2. For the transversely isotropic fiber phase, the elastic
stress-strain relations for the case of plane strain are given by Hashin (1979).
The in-plane components are written as

O = (KT - GT)e,,,Jap + ZG1€ap (2)

where K7 and G are the transverse bulk and shear moduli respectively.

Fig. 1. Schematic of the unit cell of the hexagenal array composite.
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Table 1. Elastic constants of the graphite/epoxy material system

—— ———— . o e i

E{GPa) LA E{GPa) vy G(GPa) G{GPa) K{GPa)

Graphite fiber 232 0279 150 0490 240 503 15.0
Epoxymatix 535 0354 5.5 0354 1976 1976 6.76
2.1 Interphase Model.

Both a linearly elastic and a linearly viscoelastic constitutive relation are
considered for the interfacial zone. For the linearly elastic interphase, it is
assumed that the normal traction between the fiber and matrix phases is
proportional to the jump in the normal displacement across the interphase.
Similarly, the tangential traction is taken to be proportional to the jump in the
tangential displacement across the interphase. Thus,

T, = k,Ju,];

T, = kfu); 3)
where

u, =unn and T, = (oynnn

w=u-u,and I,=T-T, @

are the normal and tangential displacement and traction vectors respectively, [ . );
denotes the jump in the quantity across the interphase, k, and k, are normal and
tangential stiffness parameters and T' is the traction vector (T; = o;n;). Here oj;
= 0j; is the Cauchy stress tensor. A positive jump in normal displacement,
(#,]);, denotes normal separation between the fiber and matrix phases. However,
we assume that a negative jump in normal displacement would correspond to a
physically unrealistic interpenetration of the matrix phase into the fiber phase
and, thus, we enforce the impenetrability constraint

[u,], 20. (5)

For the linearly viscoelastic interphase, the time dependent response of the
interfacial zone is taken into account. The material response in both the normal
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and tangential directions is considered to be that of a standard linear solid (SL.S).
The SLS qualitatively represents the behavior of an idealized cross-linked
polymer and can be viewed as a spring in paralle! with a spring and a dashpot.
The normal and tangential tractions T, and T, are then related to the displacement
jumps, [u,); and [&];, across the interphase by

. T n . k—u
T, + ? = ‘u[uu]l + T[uu]I
h T . k..(
T+ 2= kylti, )+ =)y ©

where 7 is the relaxation time, k,, and k,, are the instantaneous (glassy) stiffness
components and k.., and k.., are the long term (rubbery) stiffness components.

2.2 Finite Element Implementation

We assume small displacements and the strain displacement relation is written as
& = (u;+ u; )2 )

while the equilibrium equation (assuming no body forces) is given by
0;;=0. ®)

The Principle of Virtual Work is written as
0"6€g'dg + J- 5¢dS = J. T,-5u,-d1" ©)
.[ Q" S r

where (2 denotes the interior of the trapezoidal region shown in figure 1, I'is the
external traction boundary, and § is the interfacial traction boundary. The &; are
the kinematically admissible displacements (satisfying the periodic displacement
boundary conditions and vanishing on the prescribed displacement boundary).
The second term in the above equation is the virtual work of separation of the
matrix and fiber phases, i.e.

8¢ = T,8u,); + T,0lu,);. (10

Due to the time dependence of the linearly viscoelastic interphase, the virtual
work expression, (9), must be discretized in both space and time. The approach
we use is based on the method presented by Taylor et al. (1970) and is discussed
more fully by Gosz et al. (1990). In order to satisfy the impenetrability
constraint (5) full Newton Raphson equilibrium iteration is employed with a
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penalty-like stress update scheme in which the interphase is taken to have a
suitably high normal stiffness parameter in compression.

3. Macroscopic Response

The macroscopic response of the composite is influenced by the impenetrability
condition (5) which acts as a unilateral constraint on the deformation of the
interphase. When the constraint is not imposed the response is transversely
isotropic as expected for a configuration with linearly elastic constituents and
hexagonal symmetry (see Love, 1927; Lekhnitskii, 1963). When the constraint
is.imposed the response is not transversely isotropic but depends upon the
direction and character of the loading. For example, the constraint gives rise to
significant differences in the tensile and compressive response. These differences
are most pronounced when the interfacial stiffness parameters are low. In the
present investigation we consider uniaxial tensile loading only, and in this case
the deviations from transverse isotropy are slight.

The effective transverse properties of the fiber-reinforced composite may be
calculated using the numerical procedure briefly outlined above. For the
composite with a linearly elastic interphase, the numerical results for the
effective transverse bulk and shear moduli are compared with the analytical
results of Hashin (1989) where the composite cylinder assemblage (CCA) model
is employed to obtain the effective transverse bulk modulus, and the generalized
self consistent scheme (GSCS) model is used to determine the effective
transverse shear modulus.

The numerical results for the effective transverse bulk and shear moduli and
the CCA and GSCS results of Hashin (1989) are shown in figures 2 and 3. In
figure 2, the effective transverse bulk modulus is plotted as a function of
normalized interfacial stiffness. The normal and tangential stiffness components
are taken to be equal (k,=k,). The normalization is chosen such that k=k,a/Gr,,
where, a, is the fiber radius and Gy, is the transverse shear modulus of the
matrix. In figure 3, the effective transverse shear modulus normalized with
respect to the shear modulus of the matrix is plotted versus normalized interfacial
stiffness. Again, the normal and tangential stiffness components are taken to be
equal, and the normalization is chosen as before. As shown in figure 2, when
the impenetrability constraint (5) is not enforced, the numerical and CCA results
virtually coincide over the entire range of interphase stiffness parameters. When
this constraint is enforced, the numerical results only deviate from the CCA
results at relatively low interfacial stiffness parameters. For the effective
transverse shear modulus, when the impenetrability constraint (5) is enforced, the
numerical results deviate significantly from the GSCS results at relatively low
interfacial stiffness parameters, but the deviation at low stiffnesses is less
significant when this constraint is not enforced. It should be noted that the
magnitude of the deviation which results when the constraint (5) is enforced
depends on the loading condition considered in the numerical procedure. In the
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present analysis KT* and GT' are determined by subjecting the hexagonal array
model to tensile uniaxial loading. When the condition (5) is not imposed, the
numerical values obtained for both moduli are independent of the loading
condition considered.

Similar results for the time-dependent behavior of the composite may be
obtained. In this case suitable application of the correspondence principle allows
approximate analytical representations of the relaxation behavior to be derived
and compared with the numerical results (see Gosz et al. , 1990 for details). For
example, as shown in figure 4, the analytic results are compared with those
obtained numerically for the effective relaxation modulus in bulk. In this case,
the effective time dependent bulk modulus, KT*(I), normalized with respect to
the transverse bulk modulus of the matrix, is plotted versus time. The normal
and tangential stiffness components of the SLS are assumed to be synchronous.
The normalized glassy stiffness is chosen such that &, = k,,a/G7,, and the ratio
of glassy to long term stiffness is taken to be (k,/k..= 10).

1.0
Relaxation model
0.8
E ] Numerical results
x ---------- contact constraint enforced
~. L no contact constraint
. F 0.6
<
0.4
. K 9'-= 10T LT
0.2 .y Y v T r
0.0 5.0 10.0 15.0

t/

Fig. 4. Comparison of relaxation model in transverse bulk
with the numerical results.
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4, Failure Simulation

We now focus on the microscopic behavior of a transversely loaded fiber-
reinforced composite. In particular, for the graphite/epoxy composite with a
linearly viscoelastic interfacial zone, the effect of loading rate on interfacial crack
initiation and growth is examined. As in the previous section, the numerical
calculations are carried out for a unit cell in a periodic array of fibers (the
trapezoidal region of figure 1). The cell is loaded in the mid—closest packing
direction (see figure S) and strained at a constant rate. Interfacial crack initiation,
i.e. debonding of the fiber and matrix, is assumed to occur in either a
displacement controlled or a traction controlled manner as discussed below. The
consideration of a periodic unit cell yields qualitative information about
micromechanical failure “cesses and the associated macroscopic response.

4.1 Failure Criteria

It is assumed that interphase failure can occur in either a displacement controlled
or a traction controlied manner. In the traction controlled process it is assumed
that failure occurs when the normal traction component, T,, between the fiber
and matrix phases reaches a critical value, T,*. The failure criterion is then

written simply as
T,-T*=0. 11)

In the displacement controlled failure process, it is assumed that ‘bond failure
initiates when the normal jump in displacement across the interphase reaches a
critical value, 8. Thus, interfacial bond failure occurs when

(4 —6=0. (12)
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O
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Fig. 5. Hexagonal array composite under Mid—CPD loading.
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Fig. 6. Displacement and traction controlled failure of the standard linear solid. The
lower solid line represents the constitutive response of the SLS as the time rate of
change of the jump in normal displacement, [u,), approaches zero. The upper solid
line represents the response as {u,]—ee. The solid line in-between represents the
response at an intermediate rate.

The isolated response of the SLS subject to both failure criteria is shown in
figure 6. As shown in the figure, for the traction controlled failure process,
failure occurs at points along the horizontal dashed line, and an increasingly
brittle response of the SLS is observed as the loading rate is increased. For the
displacement controlled process, failure occurs at points along the vertical dashed
line and a tougher response is observed with increasing loading rate. When the
two failure processes are considered to be competing, failure will occur in either
a traction controlled mode or a displacement controlled mode depending on the
loading rate and the critical values of T,* and 4.

4.2 Macroscopic Constitutive Response

The macroscopic constitutive response of the fiber-reinforced composite is
illustrated in figure 7. The fiber volume fraction is taken to be V,=0.5. For
the displacement controlled process, the critical normal separation, &, is
arbitrarily chosen such that §/a = 0.001. For a fiber diameter of 20um, for
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Fig. 7. Macroscopic constitutive response for displacement and traction controlled
failure processes. In both figures, the solid line represents the response of the

composite as the macroscopic strain rate £ 0. The dotted line represents the
response for €= 1.0E-04, while £= 1.0E-03 for the dashed line.
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example, & can be considered of the order 10nm. For the traction controlled
process, the critical normal traction is chosen to be T,* = k..,8. The normal
interfacial stiffness parameters, normalized with respect to the fiber radius and the
transverse shear modulus of the matrix, are taken to be k,,a/Grm =5 and
k.xa/Grw = 1. It is assumed that the interphase exhibits a stiffer response in
shear than for normal separation. We thus choose the tangential stiffness
parameters such that (k,n/ky = k./k.. = 0.1). The time constant associated with
each component is chosen to be unity for convenience.

As shown in the figure, the remote applied stress, 0., normalized with
respect to the critical normal traction, T,*, is plotted versus percent macroscopic
strain for both failure criteria. In the displacement controlled process, the point
of failure initiation occurs at a progressively higher remote applied stress and at a
greater macroscopic strain as the macroscopic strain rate is increased.
Qualitatively, under these circumstances, both the toughness and the ductility of
the composite increase with loading rate. In the traction controlled process, the
opposite trend is observed. The effect of increasing the strain rate tends to
embrittle the composite.

8.0

]
n
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Fig. 8. Ilustration of the linear relationship between points of failure
initiation for displacement and traction controlled failure criteria.
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It is interesting to note that a linear relationship exists between points of
failure initiation at a given strain rate for both failure criteria as shown in figure
8. The lower solid line represents the response of the composite as the
macroscopic strain rate €é— 0. The upper solid line represents the response as
£-» oo, When the composite is strained at a given rate in-between these two
extremes, interfacial bond failure will initiate at a point on the dotted line for the
traction controlled process and at a point on the dashed line for the displacement
controlled process. Due to our choice of critical values d and T,*, the dotted and
dashed lines intersect at a point on the stress-strain curve corresponding to £ —
0. Thus, the composite would always fail in a traction controlled manner if the

two processes were competing,

4.3 Stress Distributions

Significant changes in the stress distributions in the interphase and in the matrix
material just outside of the interphase are observed during the failure process.
The stress distributions shown in figure 9 are obtained during the traction
controlled simulation at a macroscopic strain rate of £€= 0.001. In the upper
diagram, the normal traction in the interphase normalized with respect to the
critical value, T,*, is plotted versus angle, 8. In the lower diagram, the
circumferential stress, Opg, normalized with respect to the critical normal traction
is plotted versus angle. The distributions represented by the solid lines are
obtained at the point on the stress-strain curve (the dashed line of figure 7) just
prior to failure initiation. The distributions represented by the dotted lines are
obtained after the onset of failure at a macroscopic strain of approximately 0.04
percent - the point where the remote applied stress begins to increase
monotonically. The distributions represented by the dashed lines are obtained at
a macroscopic strain of 0.2 pe:  ut.

The distributions plotted in we upper diagram indicate that interphase failure
initiates at an angle of zero degrees (see also figure 1), and an interphase crack
develops and propagates relatively quickly to an angle of approximately 35
degrees. As the composite is macroscopically strained further, the interphase
crack grows at a much slower rate to an angle of approximately 54 degrees when
a macroscopic strain of 0.2 percent is reached. It is expected that when the
macroscopic strain of the composite is increased beyond 0.2 percent, the crack
will continue to propagate until it reaches the compressive region which
develops in the interphase at approximately 82 degrees.

The corresponding circumferential stress distributions in the matrix material
just outside the interphase are illustrated in the lower diagram. These
distributions indicate that a large stress concentration develops at the crack tip as
the crack propagates around the fiber. This large circumferential stress
concentration may give rise to radial matrix cracking leading to severe
degradation of the mechanical properties of the composite.
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5. Concluding Remarks

In the present work, the transverse loading of the hexagonal array composite is
examined from both macroscopic and microscopic points of view. Interphase
failure initiation and growth are examined for displacement and traction
controlled failure processes. The macroscopic constitutive response of the
composite is obtained for both failure criteria. As the macroscopic strain rate of
the composite is increased, the toughness and ductility increase in the
displacement controlled process, while the composite becomes more brittle in
the traction controlled process. Stress distributions in the interphase and in the
matrix material contiguous to the interphase are obtained during the failure
simulations. Large circumferential stress concentrations in the matrix form at
the onset of interphase failure and redistribute and increase in magnitude as
failure progresses. This phenomenon may give rise to radial matrix cracking
leading to severe degradation of the macroscopic properties of the composite.
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Measurement of Strength of Thin Film
Interfaces by Laser Spallation Experiment

V.Gupta® and A. S. Argon
(Massachusetts Institute of Technology, Cambridge, MA 02139.)

Abstract

Laser Spallation Experiment is developed to measure the strength of planar
interfaces between a substrate and a thin coating(.3 to 3um). In this technique a
laser pulse of a high enough energy and a pre-determined length is converted
into a pressure pulse of a critical amplitude and width that is sent through the
substrate toward the free surface with the coating. The reflected tensile wave
Jrom the free surface of the coating pries off the coating. The critical stress
amplitude that accomplishes the removal of the coating is determined from a
computer simulation process. The simulation itself is verified by means of a
Diezoelectric crystal probe that is capable of mapping out the profile of the
stress pulse generated by the laser pulse. Interface strength values ranging from
3.7 to 10.53 GPa are determined for the SilSiC system, whereas for the
carbon/SiC system, an average value of 6.91 GPa is obtained. Furthermore,
sufficient experimental evidences are provided to show the potential of the laser
technique to determine the interface toughness, provided well characterizable
Jflaws can be planted on the interface.

I Imtroduction

It is now well recognized that considerable toughness in composites with
brittle, but strong reinforcing fibers, can be achieved by controlled debonding of
the fibers from the matrix to prevent premature fiber fracture. In composites
with brittle matrices, such as ceramics and glass, this is often the only means of
obtaining toughness (Evans 1989). In metal matrix composites, an additional
problem of interface reaction between the matrix and the fiber is present, which

'Pnuntly at the Thayer School of Engineering, Dartmouth College, Hanover, NH
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sooner or later, leads to the failure of fiber. To neutralize this problem, it is now
a standard practice 10 protect the fibers with a less reactive sacrificial coating

( Gupta et al. 1989). This also permits controlled delamination of the coating
from the fiber along the fiber-coating interface to prevent cracks external to the
fiber or residual reaction products on the fiber from damaging the latter. Thus, it
has been suggested (Gupta et al. 1989, Argon et al. 1989 a) that such fiber-
coating interfaces with tailored strength and toughness properties can be used as
mechanical fuses to decouple the undamaged fibers from their damaged
surrounaings to prevent catastrophic failure of the part. An important dimension
of utilizing tailored properties of interfaces is the measurement of the tensile
strength and intrinsic delamination toughness of the fiber-coating interface. How
the intrinsic toughness can be determined from the spontaneous delamination
from the substrates of stressed coatings, where the coating is under positive or
negative residual stress, has been discussed earlier by us (Argon et al. 1989 a
&b). Here, we discuss how the tensile strength of such fiber-coating interfaces
can be measured by a laser spallation technique.

Although the development of the laser spallation experiment was motivated
by our specific interest in engineering the interfaces in composites, the
technique can be used to determine the strength of planar interfaces between
coatings (> .3 um in thickness) and substrates of any material. Hence, it
should be of considerable interest to researchers in the device and thermal spray
industries, where the mechanical problems stemming from the interface failure
are of critical importance.

Measurement of interface properties is not a new problem in the thin film
and coating technology, and the literature is replete with practical techniques
(Jacobsson 1976; Jacobsson and Kruse 1973; Chapman 1974; Chiang et al.
1981; Davutoglu and Aksay 1981; Chow et al 1976) for the mcasurement of
some average properties of thin films or coating interfaces, recently reviewed by
Mittal (1978). But, none of the tests mentioned above measure the strength of
interfaces. In order to measure the strength of interfaces between very thin
coatings and substrates, a new laser spallation technique has been developed that
had been initially introduced by Vossen (1978), utilizing shock waves produced
by short laser pulses (Lang 1974; Fox 1974; Ready 1965; Anderholm 1970;
Peercy et al. 1970). The technique involves impinging a high energy laser
pulse (pulse width of nanosecond duration), from a Nd-YAG laser (1.06 wn
wavelength) onto a thin absorption layer on the back surface of the substrate to
which the coating of interest is attached. The sudden expansion of the absorbing
film generates a compressive shock wave direci-: towards the test
coating/substrate interface. It is the reflection of the compressive wave packet
from the surface of the test coating that gives rise to a tensile pulse and leads to
the removal of the coating, if the amplitude is high enough, The technique was
used earlier by Park (1986) to detach films from the substrates. In his
experiments, the absorbing film was sandwiched by a transparent fused quartz
disc in order to increase the amplitude of the generated stress pulse. In most of
the previous investigations of this phenomenon, ample evidence for the
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feasibility of the technique was provided, but insufficient details were given for
the quantitative use of the approach as a research tool.

Hence, the technique in its previous form, prior to the present development,
could be used at best only to provide a figure of merit of the interface. The
thrust of the present research has been to develop the laser spallation experiment
in a more definitive way capable of quantifying the interface strength.
Furthermore, the goal here is to detach thin films (0.3-2 um thick) from
various substrates in contrast to the experiments done by Vossen (1978) and
Park (1976), wherein test coatings of 20-30 um thickness were considered. In
our investigation to be presented here, we demonstrate that by careful use of the
technique accurate determinations of tensile strength of interfaces are possible.

1 Strategy of Interface Strength Measurement

2.1 Experimental Arrangement

Since the actual interfaces of interest are between a cylindrical fiber and its
coating, which are not readily accessible 10 measurement by the spallation
technique, the experimental approach to be presented here utilizes a planar
arrangement of a model substrate and coating combination which is shown in
Fig. 1. The collimated laser pulse is made to impinge on a thin energy-
absorbing film sandwiched between the back surface of the substrate of interest
and a fused quartz confining plate, transparent to the laser wavelength (1.06 tm
in this experiment). The characteristics of the ideal energy absorbing film are:
high absorptivity; a very small critical absorption depth (much smaller than the
thickness of the film); a high melting temperature, high coefficient of thermal
expansion, high elastic modulus, low thermal diffusivity, and finally a
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Figure 1, Schematic of the Laser Spallation Experiment.
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thickness, A, roughly equal to the test coating of interest applied to the front
surface of the substrate. Based on a figure of merit analysis that captures the
essence of the thermoelastic stress generation for various alternative energy
absorbing materials, it was concluded that gold is the most effective material
that maximizes the generated stress pulse amplitudes.

A key element of the experiment is to determine the amplitude of the
tension wave that is formed by reflection of the pressure wave from the free
surface of the coating attached to the rear surface of the substrate. The preferred
method of accomplishing this is to measure the time rate of change of
displacement of the free surface of the coating as the main compression pulse is
reflected. This is usually done by the laser Doppler interferometry used widely in
the plate impact research (Clifton, 1978). In the experiments to be reported here,
however, only pulsing lasers of limited power were available, requiring to focus
the beam over relatively small areas of roughly 1 mm?2. This limits the planar
portion of the pressure pulse to be reflected from the free surface of the test
coating to a similarly small area, which makes the accurate measurement of the
accelerations and decelerations of these small planar portions of the free surface
rather difficult by the laser Doppler interferometry. In view of this,
quantification of the measurements of the interface strength used here was based
on a three part strategy.

The first part of the strategy was the development of a finite element
computer simulation of the conversion of the laser light pulse into a pressure
pulse. Next, the traverse of this pulse through any desired substrate of interest is
monitored and finally the resulting amplitude and history of the tensile stress at
the interface is determined as the stress wave is reflected from the free surface of
the coating of given properties and thickness.

In the second part of our strategy, the pressure pulses were measured in a
micro-electronic device in which the conditions of the computer simulation
study were experimentally achieved. In this device, to be described below, the
substrate and its test coating were replaced by a X-cut piezoelectric (PE) crystal
equipped on its back face with an energy-absorbing gold film and on the front
surface with a very thin gold electrode for signal pickup. The PE crystal with its
attached fused quartz confining plate then became a pressure transducer operating
in the short circuit mode, capable of pressure wave determination with a time
resolution of 0.7 ns. The measured pressure signal profiles were then compared
with those obtained with the computer simulation in which the substrate is
appropriately given the elastic and thermal properties of the X-cut PE quartz
crystal. This permits verifying and fine tuning of the computer simulation.

In the third part of the strategy, actual spallation experiments were carried
out. The laser fluence necessary for the removal of the probed portion of the
coating at the interface was recorded, and the tensile siress across the interface
that accomplishes this was determined from the computer program.

In what follows, we discuss first in Section III the computer simulation of
the laser-pulse-generated pressure pulses. In Section IV, we present the
experimental details of the micro-electronic device for the measurement of
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pressure pulses with the PE crystal probe. We then present the results of the
pressure wave profiles that have been obtained. Results for the actual spallation
experiment and the specific interface strength values are given for the SiC/Si and
SiC/Carbon interface systems in Section V. In Section VI, the basic results of
the computer simulation are given as generalized interface stress charts for
various coating/substrate systems. Finally, Section VII provides a discussion of
the approach and its potential.

IIT Simulation of the Stress Pulses (Part I of Strategy)

3.1 Statement of the Problem

Figure 2(a) shows schematically the configuration of the laser spallation probe
consisting of, from left to right: the fused quartz confining plate (Q), the thin
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Figure 2. Configuration for testing (a) Si/SiC and (b) Pitch-55 Ribbon/SiC systems.
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energy absorbing film (F) of thickness A, the substrate (S) and the coating
(C) of interest. The laser pulse impinging on the energy absorbing film (gold)
is generated by a Nd-YAG laser emitting at a wavelength of 1.06 pm. The laser
used was in the MIT George Harrison Spectroscopy Laboratory. The peak power
of the laser is 3 x 108 watts. The spatial profile of the laser pulse is Gaussian in
nature. The temporal profile, however, is a distorted Gaussian (Ready 1971).
The laser can be operated at 2.5 ns or 8 ns nominal pulse widths with a
maximum achievable energy of 800 mJ in a nominal laser beam diameter of 7
mm.

The critical penetration depth § of laser light at this wavelength into the
gold is only 20 nm (Ready 1965). Since this is very much smaller than the
thickness A(~1um) of the energy absorbing film, the simplifying assumption
is made that the energy is deposited on the interface between the film and the
fused quartz confining plate. The cross-sectional area of the laser beam incident
on this interface is of the order of 1-2 mm?.

Additional specifications in the simulation include: ignoring temperature
dependence in all the relevant physical properties, such as thermal conductivity,
coefficient of thermal expansion, specific heat, density, and elastic moduli. Such
variation can, in principle, be taken into account in the finite element solution
but were ignored in the initial simulation. Actual measurements and the
simulation indicated that melting of the energy-absorbing film is undesirable
since it broadens and diffuses the sharpness of the pressure wave, but is
necessary to endure in order to obtain the required level of interface stress.
Therefore, the simulation considers melting in the energy-absorbing film but
only solid-like behavior in all the other media. The effect of volume changes
associated with the phase change in the gold film is considered. This is quite
significant for the gold film which undergoes a volume expansion of 5.1%
(Smithells Metals Handbook 1983) on melting. The time constant for viscous
flow relaxations in the narrow molten region of the energy absorbing film is
much longer than the duration of the laser pulse. Therefore, even if melting of
portions of the film occurs, it is adequate to account in the simulation for only
the changes in the physical properties due to the melting transition, but to
ignore all viscous flow relaxations. Furthermore, the thermal diffusion distance
in most absorbing films during the laser heating time of 2.5 ns varies between
1 to 10 um. This distance is negligible as compared to the radius of the laser
heating spot of 1 mm. The absence of fluid-like flow of the molten material
and small thermal diffusion distance suggests that the individual material points
are blind to their neighbors in the radial direction and their deformation is
strictly governed by the amplitude of the laser energy impinging directly on
them. Hence, the generation of the stress pulse can be modelled as a one-
dimensional phenomenon.

The associated phenomenon of the pulse propagation in the substrate, and
the eventual spalling of the test coating are also modelled using the one-
dimensional stress wave equations. The validity of this assumption will be
verified later by the actual measured pressure pulse shapes to be discussed in
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Section IV below.

Ignoring the thermoelastic effect as being quite small, the simulation
considers two related, but uncoupled phenomena of transient heat transfer,
giving temperature distributions in and around the energy-absorbing gold film as
a function of time, and the related transient elastic wave propagation in all four
media of Q, F, § and C, that results from the time rate of change of the
thermal misfit, induced by transient heating. Since the Pitch-55 carbon ribbon
and the pyrolytic graphite substrate used to model the Pitch-55 fiber are
orthotropic in their elastic properties, the anisotropic effects are also considered
in the present formulation. The details of the governing equations and the
solution technique can be found in Gupta (1990). Here, we discuss briefly the
key features of the solution.

3.2 Solution of the Governing Equations

Figures 3 a & b show the traverse of pressure fronts in both the Q and §
spaces for two different normalized times of 70 and 109 for the constants H g
K q and H and K ((to be defined below) given in the figure. In Figure 3, the
time f; distance x, temperature T, displacement u, and the stress o are
normalized by introducing the variables:

E=x/A; Tt=t/ty; 0=TT, @=ulu, Z=0/0, (1)

where A,t,, Ty, u, and 6, are the fundamental units of length, time,
temperature, displacement and stress respectively, and are defined as

200
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Figure 3. Generation and propagation of stress pulses in Q and S spaces.
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where in turn, A, ¢, C, p, 8, 7 are the thickness, the one-dimensional pressure
wave velocity, the specific heat, the density, the characteristic penetration depth
of light energy and the Grueneisen constant respectively, all for the energy-
absorbing film, which is taken as the medium for the basis of normalization.
Aty is duration of the laser pulse and g is the absorbed laser fluence.The
parameters H and K enter the formulation when the different physical
properties of the substrate and confining quartz media are represented in terms of
the properties of the energy absorbing film as

(yCle);
Hl = ¢ - Kl =
(& (yCley .

In equations 2&3 above, the subscripts i and f refer to the substrate and the
energy-absorbing film respectively.

A more expanded figure of the pressure wave profile in the piezoelectric
substrate is shown in Fig. 4, which reveals, in addition to the expected main
pressure wave abc, an initially unexpected tension wave cde immediately
following the compression wave. This tension wave has been found in all
simulations with metallic energy absorbing films and should have useful
properties in providing additional tension across the test interface between §
and C. It appears to result from a space heating effect. As the thermal front
penetrates into the energy absorbing film away from the Q-F interface, the
interior of the film undergoes a "flash” expansion during the time increment
4ty of the short laser pulse, while the material in the forward direction still
experiences no effect of the pulse. The pressure wave released from such interior
slabs in the film and travelling back towards the Q-F interface will be partially
reflected from the interface back into the film and in the forward direction as a
tension wave, because of the lower modulus and much lower density of the fused
quartz in comparison to those properties of the gold film. This was also
confirmed by a test simulation where the elastic properties of the two media
were matched at the Q-F interface, resulting in the absence of the tension peak.
Furthermore, such a "rebounding” condition should be favored in a system in
which the "flash" expansion of the energy-absorbing packet cannot be
significantly counteracted by the elastic wave tending to disperse the misfit
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Figure 4. Detailed structure of the stress pulse in the piezoelectric substrate.
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the ratio of the average thermal velocity to the sound velocity is high. In egn.
(4) above, A, is the thickness of the coating to be blown off and k is the
thermal conductivity of the energy absorbing film. In systems with metallic
energy-absorbing films for which the simulations have been performed, where
the tension peak was found, the ratio

KALCpe

in Eqn. (4) was found to be around 0.05-0.1, while for a carbon film which
does not show the peak, the ratio is as low as 3x10°3.

In the simulation, the propagation of the stress pulse was monitored in the
substrate until it completed the tensile loading of the coating/substrate interface.
The stress history of the Si/SiC interface due to the pulse of Fig. 4 and for a
SiC coating of 1.5 um thickness is shown in Fig. 5. Zero values prior to the
main signal correspond to the time lag in the arrival of the stress pulse at the
interface. Thus, for a given threshold laser fluence, the interface strength can be
calculated from the amplitude of such plots.
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Figure 5. Stress history at the interface.

IV Experimental Stress Pulse Measurements (Part I of the
Strategy)

4.1 The Micro-clectronic Device

A schematic view of the micro-electronic device with the X-cut piezoelectric
crystal is shown in Fig. 6. The assembly of fused quartz plate (Q), energy-
absorbing(gold) film (F), and the PE crystal, taking the place of a substrate, is
shown encased in a Bakelite housing. 1 um thick gold films were chosen
(Ditchburn 1963) to compietely absorb the laser fluence in order to avoid the
well-known radial cracking phenomenon (Volkova 1967) in the substrate disc
due to its heating by the transmitted laser fluence. The laser-absorbing gold film
also acts as a ground electrode for the piezoelectric crystal. A rubber "O" ring
between the housing ard the PE crystai radially compresses the latter when the
copper electrode housing (C) is attached to the bakelite housing. The radial pre-
compression of the substrate disc counteracts cracking of the substrate disc
subjected to the sudden impact of the generated stress pulse. Figure 7 shows a
perspective view of a typical sandwich element in the PE device. The PE device
has a gold energy-absorbing film sandwiched between the PE crystal and the Q
plate, acting also as the ground electrode of the PE device. As shown, this
extends all the way to the front surface of the PE crystal, where it terminates as
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an outer ring, to which the copper electrode housing makes contact. Six equally
spaced round gold electrode tabs of 2 mm diameter communicating with a
central round tab through thin conducting spokes (25 pm wide) constitute the
secondary electrode. These electrodes were deposited by photolithographic
techniques. This geometry of the secondary electrode was designed to pick up the
one-dimensional structure of the current signal. This was ensured by focussing
the laser beam to a 2-3 mm spot on the laser-absorbing film in line with one
of the 2 mm diameter secondary electrodes as shown in Fig. 7. This assembly
permits as many as six separate measurements of the shapes of arriving pressure
pulses by indexing a new tab into the line of sight of the collimated beam.
Bakelite

housing Piezo electric crystal probe
M WA
= 7 -
\l w Copper electrode housing
AN Pick-up probe
Pulsing
laser - —= . ““".
Spring
Focusing . Energy
lens absorbing
< e gold film

insulating bokelite
*0" Ring sleeves

—

Fused quariz disk

Trigoer ————J LeCroy

Digitizer

L_____. Signol to PC

Figure 6. A schematic view of the microelectronic device.

This assembly of fused and piezo-electric quartz is then encapsuled by a
copper electrode housing by lapping it onto the edges of the bakelite housing so
that the legs vv and hh of the copper piece (see Fig. 6) touch the outer ground
electrode ring on the rear face of the crystal. Thus, the whole copper enclosure
acts as a ground electrode. A specially constructed pickup probe with a copper
leg, insulated from the copper piece, is then inserted via the opening oo, 50
that the copper leg touches the central secondary electrode. The short circuit
current derived between the two electrodes is picked up via a BNC plug fastened
on top of the pick-up probe and fed into a Lecroy high speed digitizer by a BNC
cable. A high speed Lecroy digitizer (1.3 GHz sampling rate) is needed to record
the stress pulses with sub-nanosecond rise times. Since the experiment is
performed in the single shot mode, the digitizer is triggered by an electronic
pulse that is fired just before the lasing of the optical pulse. The details of the
micro-circuitry and various considerations in designing the micro-electronic
device can be found in Gupta (1990 ).
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Figure 7. Perspective view of the micro-electronics device.
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The procedure of using the X-cut PE quartz crystal to record ultra-short
duration high amplitude pulses follows the technique described by Graham et
al. 1965. The measurement is made in the short circuit mode, between the
ground electrode that is struck by the laser beam and the front electrode from
which the pressure wave is reflected, through an external circuit incorporating
the digitizer with a 502 impedance. The short circuit current i(¢) obtained
from the crystal as the stress wave propagates in the crystal is given by (Graham
et al. 1965)

1 =.LAQ -
iy =14 [o®-a(@)] )

where A is the effective cross-sectional area of the laser beam, [ is the
thickness of the crystal, ¢ is the velocity of the planar pressure wave, f is the
polarization coefficient of the crystal and, o,(¢) and ofr) are the amplitudes of
the stress pulses on the ground (impacted energy-absorbing film) and front
surface electrodes of the crystal. The term oy(t) is to be interpreted as the
amplitude that hits the free surface, but is annulled instantly by an equal and
opposite virtual amplitude in order to satisfy the free surface boundary condition.
In the absence of such interpretations, which were apparently not explained by
(Graham er al. 1965), equation (5) could be misleading as the term oy(1) is
always zero. Nevertheless, if the wavelength of the stress packet is smaller than
the crystal thickness, equation (5) reduces to

S e e -
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which gives the time dependent profile of the stress wave. Equation (6) predicts
that the stress at the input electrode is directly proportional to the instantaneous
current for times less than the wave transit time.

Most of the researchers (Lang 1974; Fox 1974; Ready 1965; Anderholm
1970; Park 1986) in the past have used the above equation to measure the
stresses at the input electrode of the crystal. However, if the thickness of the
crystal is greater than the width of the stress pulse, then two short-circuit current
signals corresponding to each electrode are obtained. The stress is related to the
current signal at the ground electrode via equation (6), but interestingly, the
current signal output when the pulse hits the rear electrode is exactly twice that
obtained from the ground electrode. This is explained in details by Gupta and
Epstein (1990), where the physical phenomenon described by the above
equations is elucidated. Because the laser fluences were sufficient to melt a part
of the input electrode, it became necessary to record the current signal emitted
from the rear electrode for more reliable measurement of the generated stress
pulse.

44C ison of M ith Predicti

The simulation presented in Section III considered only a one-dimensional case
of propagation of elastic waves due to the laser-pulse-induced, rate-of-change-of-
thermal-expansion misfit. That this is close to reality is demonstrated in Fig. 8,
where the input current profile resunlting from the impingement of the laser
beam on the ground electrode is plotted above the current profile emitted from
the secondary electrode due to the first reflection of the compressive wave. Apart
from the expected amplification of the reflected current by a factor of 2 above the

................................
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Figure 8. Evidence of the planarity of the travelling stress wave.
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Figure 9. Comparison of the predicted and measured profiles of the stress pulse.

input signal, the two profiles are quite similar in the main portion, but differ in
the structure of their tails. This similarity is taken as evidence of planarity of
the main pulse.

Figure 9 shows a direct comparison of the predicted and measured profiles of
the input stress pulse for a fluence of 34,600 Jim? (with distinct melting
behavior of the gold film). Figure 9 shows that the predicted profile of the stress
pulse for an emissivity of 0.18 for the gold film is clearly similar in broad
outline to the profile measured by the PE device. The amplitudes of the
experimentally recorded pulse and the predicted ones are remarkably similar. This
is very encouraging for the simulation, as the ultimate aim in this exercise is 1o
predict the stress amplitudes at the substrate/coating interface. Figure 9, which
shows the structure of the recorded pressure pulses for an absorbing gold film,
demonstrates the presence of two compression peaks with an intervening deep
depression which in the simulation of Fig. 4 appeared as a tension peak. The
depression in Fig. 9 has remained in the compression region and has not gone
into tension as the simulation predicts. This currently remains a discrepancy that
must be resolved. This, however, is of little interest in the present strategy as
the laser fluence required to spall the test coatings is sufficiently high to cause
the melting of the gold film. Therefore, the computer model can be used with
sufficient confidence to predict the interface stress histories in other
substrate/coating pairs of interest to researchers in the thin film area. The
interface swrecc iz determined from the amplitude of the interface stress history
plots of the type shown in Fig. 5.




V Spallation Experiments

The spallation technique was applied to three substrates consisting of Si
single-crystal wafers with (100) plane surfaces, Pyrolytic graphite (PG) platelets
with the principal axis of layer normals lying in the plane of the platelet, and
Pitch-55 (P-55) type carbon ribbons of 600um width and 35um thickness
having a meso-phase morphology very similar to the Pitch-55 carbon fibers .
Detailed description of the morphology of the Pitch-55 ribbon can be found in
Gupta and Argon (1990) and for PG in Gupta et al. (1988). In all these cases,
the coatings to be removed were amorphous SiC coatings deposited by the
plasma-assisted chemical vapor deposition technique. The coatings had a
thickness of about 1-3 um. They were deposited in a nearly stress free manner
by maintaining the substrates at a certain temperature to prevent the entrapment
of a significant concentration of hydrogen, which otherwise would have resulted
in high residual compressive stresses and premature delamination in a manner
described in detail by us earlier (Argon et al.1988).

The Si/SiC, PG/SiC interface systems were tested in an experimental
configuration of the type shown in Fig. 2 (a), whereas for the P-55/SiC system,
the setup of Fig. 2 (b) was employed. The coating could be successfully spalled
off in all cases with appropriate levels of laser pulse energy. The tircshold laser
energy at which spallation occurs was recorded using a light power meter. Since

Figure 10. Spalled spot of SiC coating from Si single crystal.

1These exploratory Pitch-55 ribbons were specially prepared and furnished to us
by the textile Fibers Department of the DuPont Company for which we are
grateful o Dr. E. M. Schulz,
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the amplitude of the stress pulse should depend upon the absorbed laser fluence,
the diameter of the laser beam was recorded on photographic film for the
tabulation of the threshold laser fluence, as mentioned above.

(a) Si/SiC interface: Figure 10 shows a micrograph of the spot from which

the SiC coating has spalled off. The laser fluence necessary to achieve this
spallation is 7,388 J/m2. The interface strength corresponding to this laser
fluence as calculated from the computer simulation is 5.29 GPa. The thickness
of the amorphous SiC coating of low modulus, deposited at low ion beam
energy, was 1.5 um. The dark portions of the micrographs are the regions
where the SiC coating still adheres to the Si substrate. The islands of SiC
within the spalled spots are due to the statistical variability of the interface
strength over the delaminated spot. The interface strength varies from 10.19 GPa
to 10.88 GPa, which is surprisingly low (only 7%) for a brittle interface.
The clean flat structure of the interface shows that the SiC coating has come off
uniformly from the substrate at the interface. In order to verify this, Auger
electron spectroscopy (AES) was performed on the spalled spot to determine the
location of the failure. The irregular pattern at the rim of the spalled spot is due
to the partial delamination and breaking of the coating at the circumference of
the spalled coating. It was possible to successfully delaminate coatings of
thicknesses ranging from 0.3 to 3 um.

Finally, the actual interface strength values for the various SiC/Si systems
produced by using different deposition parameters (of the SiC coating) vary from
3.7 GPa to 10.88 GPa. While such a variation may appear disappointing, this
degree of freedom is exactly what is required to carry out the interface
delamination scheme in composites as outlined in Section I. The interface
strength between the carbon and the SiC interface is of interest in such 